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ABSTRACT

Inconel 617 is a solution strengthened nickel-based alloy
which has been considered as one of the leading structural ma-
terial for the intermediate heat exchangers (IHX) in very high
temperature reactor (VHTR). In order to gain understanding of
the creep and fatigue deformation mechanisms and their inter-
actions in alloy 617 operating in the VHTR environment, a com-
putational model that operates at the microstructural scale has
been developed for creep, fatigue and creep-fatigue modeling
of alloy 617. This model is based on an isothermal, large de-
formation crystal plasticity finite element (CPFE) formulation
and idealizes the deformation in the crystal lattice as collective
glide and climb of dislocations. A recently developed glide
resistance evolution equation by the authors that can capture
the intermediate softening observed in both fatigue and creep-
fatigue cycles of Inconel 617 at high temperature is adopted
for the dislocation glide formulation. Dislocation climb is in-
corporated to account for the interactions between dislocations
and local point defects at high temperature. The CP equa-
tions are solved incrementally as the constitutive relationship
in the context of FE analysis on fully resolved microstructure
reconstructed from experiment data. Model parameters are
calibrated and verified using experimental tests.

I. INTRODUCTION

Nickel based alloy Inconel 617 is considered as a primary
candidate structural material for the intermediate heat exchang-
ers ([1]) in the VHTR applications. VHTR operating environ-
ment poses a challenge for structural materials due to require-
ments for very high temperature (up to 950 ◦C) strength as well
as high temperature creep and damage resistance due to the long
term in-service time and operation startup and shutdown cycles.
Prediction of failure and life of this alloy under high tempera-
ture fatigue and creep-fatigue conditions is therefore a critical
concern. Developing a computational model that incorporates
the underlying physics of the plastic deformation, which can
lead to the ability to capture the response in cyclic loading, and
ultimately, life prediction capability draws significant research
interest.

Extensive experimental studies have been conducted to
study the high temperature response of Alloy 617 under differ-
ent loading conditions, including temperature and strain rate
dependency ([2, 3]) under monotonic loading, fatigue and creep-
fatigue response under cyclic loading conditions with different
strain ranges and hold times ([4, 5, 6, 7]) and long term creep
response ([8]). Microstructure examinations showed failure is
controlled by intergranular fracture under creep-fatigue loading,
while transgranular cracking dominates when subjected to pure
fatigue loads [6].

Crystal plasticity finite element method (CPFE) has been
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Fig. 1. Loading profiles: (a) strain controlled fatigue test; (b) strain
controlled creep-fatigue test; (c) creep test.

a well-established method that is capable of relating the
microstructural heterogeneities and their interactions to the
macroscale response (see a detailed review in Ref. [9] ). CPFE
used to model the fatigue and creep-fatigue response of In-
conel 617 has been very recently [10]. It has been pointed out
that while dislocation glide is the main deformation mecha-
nism at lower temperature (i.e., below 0.5 TM with TM being
the melting point) for metals, dislocation climb resulting from
the interaction between dislocation and local non-equilibrium
concentrations of point defects also take place at high tempera-
ture [11].

In this manuscript, a crystal plasticity model considering
dislocation glide and climb to idealize the creep-fatigue cycles
of Inconel 617 at high temperature is developed. The fatigue
and creep-fatigue loadings to mimic the operation cycles of
VTHR and the creep loadings for evaluating their long term
in-service performance (loading profile schematically shown in



Figure (1)) are of our primary research interest in the current
study. The CPFE model consider large deformation kinematics
and incorporates a new glide resistance evolution equation that
can capture the above mentioned softening caused by the solute-
drag creep effects, while dislocation climb is incorporated to
accurately capture the creep strain.

II. MODEL DEVELOPMENT

Crystal plasticity finite element analysis of a single crystal
was first carried out by Peirce, Asaro and Needleman [12, 13].
CPFEM has its advantage of flexible incorporation of available
deformation mechanism and accounts for full microstructure
heterogeneity and their interactions, hence is widely used for
modeling the response of metallic materials under different
loading conditions [14] across different deformation mecha-
nisms [15, 16, 11, 17].

II.A. Kinematics of Crystal Plasticity

For a crystalline solid subjected to deformation gradient
F, it has been a standard procedure to decompose the defor-
mation gradient into deformation and rotations to facilitate the
constitutive description. While there are are two different de-
compositions of F available in literature [18, 19] depending on
one or two intermediated configurations considered, our current
formulation adopts the two intermediate configurations follow-
ing Marin and Dawson [20]. This formulation has its kinematic
theory originated from the work of Asaro [21], Tayler [21] and
Hill and Rice [22]. This framework is briefly revisited here for
completeness and clarity.

Consider the deformation gradient F that relates the current
(deformed) configuration B with its reference (undeformed)
configuration B0 of a polycrystalline solid, which can be mul-
tiplicatively decomposed into its elastic (Fe) and plastic (Fp)
contributions as:

F = Fe · Fp (1)

Further polar decomposition of the elastic part gives:

F = Ve · F∗, F∗ = Re · Fp (2)

in which, Ve are the elastic stretch tensor and Re the orthogonal
rotation tensor. This decomposition introduces two intermedi-
ate configurations between B0 and B (see [20, 10] for details),
and current formulation is written in the intermediate config-
uration B̃ obtained by unloading the deformed configuration
through the elastic stretch Ve−1, where the lattice orientation is
the same as that in the current configuration.

Lattice orientation in the reference configuration is charac-
terized by two orthogonal unit normals, m0 and n0, perpendicu-
lar to the glide plane and along the glide direction respectively.
Evolution of lattice orientation is from the rotation tensor Re

as:
nα = ñα = Re · nα0

mα = m̃α = Re ·mα
0

(3)

The velocity gradient in configuration B̃ is decomposed
into the symmetric (D̃p) and skew (W̃p) parts as:

L̃p = D̃p + W̃p (4)

both of which have its contributions from dislocation glide
(indicated by subscript g) and climb (indicated by subscript c)
as:

D̃p = D̃p
g + D̃p

c

W̃p = W̃p
g + W̃p

c
(5)

and the detailed expression of each term is provided below.
It is well recognized that elastic deformation is negligible

compared to the plastic deformation for metals in general, we
adopt the small elastic strain assumption [20, 23]:

Ve = I + εe, ||εe|| � 1 (6)

in which, εe denotes elstic strains. Time differentiation and
inverse operation is expressed as:

V̇e = ε̇e, Ve−1 = I − εe (7)

in which, super script −1 indicates tensor inversion. This sim-
plification will lead to the elastic stress-stress relationship as:

τ = C̃ : εe; τ = det(I + εe)σ (8)

where, C̃ is the fourth order anisotropic crystal elasticity tensor,
τ the Kirchhoff stress.

Eqs. (1)-(8) provides the base of the the current formulation
while detailed expression for the skew and symmetric parts of
velocity gradient as a result of dislocation glide and climb are
discussed in the following sections.

II.B. Dislocation Glide

Utilizing the small elastic strain assumption (Eqs. (6) and
(7)), the symmetric and skew part of velocity gradient in con-
figuration B̃ is derived as (see Ref. [23]):

D̃p
g = Re ·

N∑
α=1

γ̇αg
(
mα

0 ⊗ nα0
)
S · R

eT =

N∑
α=1

γ̇αg
(
Z̃α)S (9)

W̃p
g = Ω̃e + Re ·

N∑
α=1

γ̇αg
(
mα

0 ⊗ nα0
)

A · R
eT = Ω̃e +

N∑
α=1

γ̇αg
(
Z̃α)A

(10)

where, the subscripts S and A indicate the symmetric and
skew (anti-symmetry) components, respectively (i.e., (·)S =(
(·) + (·)T )

/2; (·)A =
(
(·) − (·)T )

/2 with superscript T indicates
tensor transpose). Ω̃e = Ṙe · ReT denotes the spin of the lat-
tice in configuration B̃, and possesses skew symmetry [24].
Z̃α = m̃α ⊗ ñα is the Schmid tensor that resolves the applied
stress onto glide system α as resolved shear stress (RSS, de-
noted as ταg , and ταg = τ : Z̃α ) to drive the accumulation of
shear strain rate γ̇αg on individual glide system as shown in
Figure 2. γ̇αg is generally characterized by the flow rule as a
function of τα and a set of internal state variables.

Several flow rules have been developed in literature to
model the kinematics of dislocation glide at high temperature
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Fig. 2. Dislocation glide geometry.

([13, 25, 26, 27]) and we adopt the one developed by Busso [25,
28]:

γ̇αg = γ̇0exp
{
−

F0

kθ

〈
1−

〈 |τα − Bα| − S αµ/µ0

τ̂0µ/µ0

〉p
〉q}

sgn(τα − Bα)

(11)
in which, k is the Boltzmann constant, θ the temperature in
Kelvin, γ̇0 the reference shear strain rate, F0 the activation
energy. τ̂0 the threshold stress at which dislocations can be
mobilized without the assistance of thermal activation. p and
q are two fitting parameters, µ and µ0 the shear moduli at the
current temperature and 0 K, respectively. S α and Bα are two
internal state variables: the glide resistance and backstress in
the glide system α, respectively. sgn(·) is the sign function and
〈·〉 denotes the Macaulay brackets (i.e., < · >= ((·) + | · |)/2) .

The evolution equations for the backstress (S α) is based
on the work of Busso and Lin [28, 29], which is expressed as:

Ḃα = [hB − DαBαsgn(γ̇α)]γ̇α (12)

where, hB and Dα are the hardening and dynamic recovery
parameters for the backstress evolution, and Dα is expressed
as [29]:

Dα =
hBµ0

S α

{µ′0
f
− µ

}−1
(13)

in which, µ′0 is the local slip shear modulus at 0 K and f is a
parameter that accounts for the coupling between the internal
glide variables as well as the statistical effects.

A new glide resistance evolution equation has been re-
cently proposed by the authors to capture the initial softening
in first cycle of both fatigue and creep-fatigue tests as well as
its persistent re-emergence in every load reversal immediately
after the strain hold in the creep-fatigue tests. An initial peak
followed by an exponential decrease to a stable flow stress in
Inconel 617 at high temperatures has been attributed to the
solute-drag creep deformation mechanism [5]. Similar behav-
ior has been observed in other alloys (e.g., class I and class
A aluminum alloys) that exhibit solute-drag creep at elevated

temperatures ([30, 31, 32]). This solute drag-creep effects is
modeled by using the glide resistance equation from Ref. [10]:

Ṡ α =
[
hS−dD(S α−S̄ α)

]
|γ̇α|−h2(S α−S α

0 )H
(
γ̇th−

n∑
α=1

|γ̇α|
)

(14)

where, γ̇th is the threshold rate for static recovery, h2 the rate
of static recovery parameter, S̄ α the steady state flow strength
parameter. H(·) denotes the Heaviside function. The first part
of the glide resistance evolution includes the steady state flow
strength parameter, S̄ α, which is typically lower than the “ini-
tial” glide resistance, S α

0 . The second part of the glide resistance
evolution accounts for the recovery of strain softening in the
form of static recovery. In the present model, the recovery initi-
ation is possible only when dislocation motion reduces signifi-
cantly, which is a necessary condition to stop the drag process.
This evolution equation essentially describes the competition
between the first and second components under different glide
magnitudes, leading the glide resistance varies between S α

0 and
S̄ α.

II.C. Dislocation Climb

The contribution of dislocation climb follows a similar
expression as dislocation glide ([11]):

D̃
p
c = Re ·

N∑
α=1

γ̇αc
(
mα

0 ⊗ χ
α
0
)
S · R

eT =

N∑
α=1

γ̇αc (K̃α)S (15)

W̃
p
c = Re ·

N∑
α=1

γ̇αc
(
mα

0 ⊗ χ
α
0
)

A · R
eT =

N∑
α=1

γ̇αc (K̃α)A (16)

in which, γ̇αc is the shear strain rate as a result of dislocation
climb. K̃α = m̃α

⊗ χ̃ is the climb tensor of climb system α
in the crystal coordinate system ([33, 34]) with χ̃ being the
normal to the glide plane and parallel to the product of normal
to the glide plane (ñ) and the tangent to the dislocation line (t̃)
defined as ([33, 34]) :

χ̃ = ñ × t̃ (17)

It is straight forward to see that the glide tensor depends on the
glide system and this dependence is expressed in terms of a
single parameter ψ (i.e., the angle between t̃ and m̃) as shown
in Figure (3). The glide tensor is then expressed as:

K̃
α

= [m̃ ⊗ (m̃ × ñ)]cosψ + (m̃ ⊗ m̃)sinψ (18)

Similar to the glide tensor, the climb tensor resolves the applied
stress onto individual climb system (denoted as ταc , and ταc =
τ : K̃α ), and drives the shear strain to accumulate following a
specific climb flow rule. The flow rule adopted here is based
on the work of Lebensohn and coworkers ([34]) and takes into
account the temperature and rate effects:

γ̇αc = γ̇0exp
(
−

F0

κθ

) (
|ταc |

τ̂0c

)pc

sgn(ταc ) (19)

in which, γ̇0, F0, κ and θ are the same parameters from the
dislocation glide. τ̂0c is the threshold stress and pc the creep
exponent.
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Fig. 3. Illustration of dislocation glide and climb systems: coor-
dinate system u− v−w is aligned with dislocation glide system
α (p̃α is the unit vector to complete a right-hand orthogonal
coordinate system defined by ñα and m̃α ) and the clime system
depends on the glide system through angle ψ.

III. MODEL PREPARATION AND CALIBRATION

III.A Experiments Employed

Strain-controlled low cycle fatigue and creep-fatigue tests
were conducted by Wright and co-workeers [35] at constant
strain rate of 1.0 × 10−3/s and temperature of 950 ◦C using a
symmetric triangular waveform (loading profile shown in Fig-
ure (1)). It need to be noted that during the first few cycles
of most experiments, incrementally increasing strain values
were used prior to reaching the target strain level to avoid over-
shooting the target strai. Table I summarizes the experiments
used in this study. Creep tests at relative low hold stress (24.0
and 28.6 MPa) for alloy 617 at 950 reported by Wright and
coworkers [8] were also employed in our current study.

All experimental data used in this study are from specimens
machined from the annealed plate produced by ThyssenKrupp
VDM and solution annealed at 1175 ◦C [35]. EBSD technique
was used to examine the as-received specimen to determine
the grains size statics and also texture which shows a bi-modal
grain size distribution and random orientation [10].

III.B Microstructure Generation and Determination of Mi-
crostructure Size

Grain size distribution and orientation distribution infor-
mation from the experimental EBSD study are used to con-
struct the microstructure in software DREAM.3D ([36]). Two
methods are available for the microstructure reconstruction in
DREAM.3D. One is feeding a series of continuous EBSD scans
along the thickness direction of the specimen into DREAM.3D
reconstruct the exact microstructure. The second is providing
directly the microstructure statics and morphological informa-
tion to construction microstructure of user specified dimension
processing the provided statics and morphological informa-
tion. In this study, the bi-modal grain size distribution and

(a) (b)

(c) (d)
Fig. 4. Microstructure reconstruction and meshing: (a) Microstruc-
ture reconstruction in DREAM.3D; (b) Surface Mesh of individual
Grains; (c) Volume mesh of individual grains using corresponding
surface mesh; (4) Stitching grain mesh together to form polycrystal
mesh.

random orientation from Ref. [10] are used to reconstruct the
microstructure.

Once the microstructure is reconstructed, surface mesh of
each grain can be generated and exported from DREAM.3D, af-
ter which, the Parallelized Polycrystal Mesher (PPM) software
developed by Cerrone et al [37] is used to generate volume
mesh for individual grains and stitch them together to form the
volume mesh of the whole microstructure. This microstructure
reconstructions and meshing process is schematically demon-
strated in Figure. 4.

In general, a microstructure need to be large enough be
statistically representative. In order to choose the smallest rep-
resentative volume element (RVE) to balance the computational
efficiency and accuracy, a microstructure convergence study has
been conducted using a creep-fatigue simulation. 140 grains
have been identified to be appropriate for the current study
and shows convergence in terms of both overall stress-strain
response as well as local stress distribution [10]. This RVE
mesh together with the boundary and loading conditions are
shown in Figure 5. All numerical simulations are performed
using this RVE.

III.B. Parameter Calibration

The parameters of dislocation glide have already been cali-
brated and discussed in Ref. [10]. Dislocation glide parameters
hence are kept the same in the current study. Three dislocation
climb parameters, pc, ψ and τ̂0c need to be identified. Three
tests, one from fatigue tests, one from creep-fatigue tests and
one from the creep tests as highlighted in Table (I) are used for



Test name Temperature( ◦C) Strain rate s−1 Strain range % Hold time(s) Hold stress MPa

B-14 950 0.001 0.6 0 NA
E-11 950 0.001 1.0 0 NA
J-1 950 0.001 1.0 0 NA
A-13 950 0.001 1.0 600 NA
B-16 950 0.001 0.6 180 NA
F-5 950 0.001 1.0 180 NA
C-2 950 NA NA NA 28.6
C-1 950 NA NA NA 24.0

TABLE I. Summary of experiments studied in current study.

˙ = 0.001/s

(a) (b)X

Y

Z
or P=24.0MPa

Fig. 5. Boundary conditions and Microstructure discretization.

the calibration purpose. For the fatigue and creep-fatigue tests,
we are seeking to match the first cycle stress-strain response
between simulation and experiments. For creep tests, the goal
is to capture secondary creep.

Considering the small number of parameters need to be
calibrated, the calibration process starts on a parametric study
to investigate the sensitivity of each parameter followed by
extensive simulations using Taylor hypothesis to quickly arrive
at a set of parameter that provides acceptable match for the
three tests used for calibration. The obtained parameters was
further fine tuned by conduct CPFE simulations on the above
mentioned 140-grain RVE. This calibration process yield the
parameter sets ψ = 60 ◦, pc = 2.95 and τ̂0c = 1.05MPa. The
comparison between simulations and experimental tests of the
three tests using the calibrated parameters are shown in Figure 6
and all the tests shows a reasonable match.

IV. MODEL VERIFICATION AND RESULTS ANALY-
SIS

The calibrated parameters are further validated by running
CPFE simulations to compare the first cycle response of fatigue
and creep-fatigue tests and secondary creep of creep-tests with
experimental data using the remaining tests. As illustrated in
Table I, the tests were performed using various strain ranges
and hold times for fatigue and creep-fatigue tests and different
hold stress for creep tests and the comparison are shown in
Figure 7.

The transient stress relaxation phenomenon caused by
solute-drag creep is most prominent in the first cycle, we mainly
investigate the predictive capability of the proposed model
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Fig. 6. Calibrated results: (a) creep-fatigue test F-5; (b) fatigue test
J-1; (c) creep test C-1.

in capturing the hysteresis behavior of the first cycle for fa-
tigue and creep-fatigue tests. The initial tensile loading part
of the stress-strain curves in all fatigue and creep experiments
is also marked by the presence of serrations induced by the
Portevin-Le Chatelier effect [5]. The current formulation does
not account for this effect and the tensile loading part of the
simulations exhibit a smooth loading path.

For the creep tests as shown in Figure 7 (c), the experi-
ments shows a significant tertiary creep following the secondary
creep. However our current formulation does not include any
microstructural grain boundary damage effects to account for



the tertiary creep. The match is reasonable up to the onset of
damage.
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Fig. 7. Verification results: (a) Creep test B-16 and A-13; (b)
fatigue text B-14 and E-11; (c) creep test C-2.

In view of the above-mentioned points, the simulated over-
all stress-strain hysteresis curves are in very good agreement
with the experiments. In particular, the stress relaxations caused
by solute-drag creep are accurately captured as a function of
various hold times and strain ranges.

CONCLUSIONS AND FUTURE STUDY

A CPFE model considering both dislocation glide and
climb has been developed to model the creep, fatigue and creep-
fatigue response of Inconel 617 at high temperature. The model
adopts a glide resistance evolution that consider the solute-drag
creep effects to capture the softening observed in the fatigue and
creep-fatigue tests and also incorporates the climb mechanism
to capture the creep strain at low hold stress (compared with
the yield stress) in the creep tests. Verification of the model
points to a good match between simulation and experiments in
terms of stress-strain and stress-time response in fatigue and
creep-fatigue tests as well as secondary creep in creep tests.

The current model assumes full traction continuity along
grain boundaries and did not incorporate any damage effects.
Future work will consider cohesive zone modeling of the grain
boundaries, which will allow the crack initialization prediction
at grain boundaries to capture the cyclic softening in fatigue

and creep-fatigue tests as well as tertiary creep in creep tests
up until failure. On the other hand, to gain the capability
for structural scale analysis, the proposed model will be cou-
pled to structural scale simulations either through concurrent-
hierarchical multiscale modeling (e.g., [38, 39, 40]), or through
sequential multiscale modeling to calibrate model parameters
of phenomenological models (e.g., [41, 42]).
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